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Introduction
There is a need to understand the performance of candidate power plant materials for higher temperatures and pressures. 9-12% Cr steels are an example of such candidate materials, owing to their excellent mechanical properties, and steels such as P91 and P92 are already being utilised in power generation plant [1] . There is an increasing trend towards shifting of energy supply from conventional fossil fuel power plant to sustainable energies, e.g. wind power. To allow for the variable nature of renewable energy supply, there is a requirement to operate existing plant, designed for 'base-load' operation, with relatively infrequent shutdown and start-up, in 'load-following' mode, characterised by increased frequency of shutdown and start-up. This issue has increased the importance of design and assessment of materials and components for high temperature, pressurised plant with respect to thermomechanical fatigue (TMF) and creep-fatigue failure. Current header design does not consider cyclic thermal stresses and load cycling that can lead to creep-fatigue damage [2] . Work carried out in [3] has recognised that repeated start and stop operations lead to creep-fatigue loading on power plant components. In [4] , thermo-mechanical modelling of P91steel in complex power plant geometries, including 2 effects of varying thermal and mechanical loads representative of plant start-up was carried out using an elastic-plastic material model (without strain-rate effects). In [5] , [6] , [7] the inservice life of 2 1 / 4 Cr-1Mo steel power plant components has been investigated, based on a linear elastic finite-element analysis, which is expected to underestimate the component lifetime. Lifetime assessment of header geometries under system loading was examined in [8] , which highlighted the importance of modelling both the global geometry and local subsections of a header geometry.
In this work we apply a previously published methodology [9] to a realistic section of a power plant header. This methodology employs temperature dependent material properties in order to capture material behaviour subjected to plant thermal transients during start-up. Realistic loading histories for a high temperature, steam-pressurised P91 pipe, are investigated, in order to predict the thermo-mechanical cyclic behaviour of a P91 steam header with multiple stubs. Finite element (FE) analysis is used to identify critical locations on the header. Mesh refinement, via a submodelling technique, allows for interrogation of these identified critical locations and a life prediction methodology to be implemented. A subsequent representative cycle is then presented which is based upon a simplified version of the realistic cycle. The representative cycle analysis identifies the salient features of a plant operating cycle, to allow rapid but accurate estimates of component life to be obtained.
A transient heat transfer model is developed to predict the associated temperature distribution across the wall thickness of a pipe, for subsequent thermo-mechanical analysis. An anisothermal cyclic, elastic-plastic-creep constitutive model is adopted, based on the work presented in [9] , to represent the thermo-mechanical response of the material. To determine component lifetime, a multiaxial critical plane (CP) methodology [10] is implemented, using the Ostergren thermomechanical fatigue parameter as a fatigue indicator parameter (FIP). The present work analyses a power plant header undergoing thermally-induced low cycle fatigue (LCF) loading, where the maximum strain and stress may not be coincident due to the nonlinear stress-strain response. The Ostergren FIP, which is strain energy based, combines maximum tensile stress with the inelastic strain range [11] for the associated plane, making this FIP suitable for anisothermal high temperature LCF failure.
Methodology

General
The overall objective of this work is to develop a lifetime prediction methodology for power plant components subjected to complex thermo-mechanical loading. A key component of the methodology is the ability to predict the thermo-mechanical temperature-stress-strain response of header sections under realistic loading histories. This requires the development of (i) a thermal model which can predict thermal gradients in such components, and (ii) a sequential anisothermal cyclic, viscoplastic constitutive model for the header material. The dimensions of the header correspond to the geometry of an outlet header from a fossil fuel power station in Ireland. A global submodeling technique is employed in order to deliver an efficient but accurate solution to this complex three-dimensional thermomechanical problem. Figure 1 shows a set of temperature and pressure time histories, consisting of (i) steam temperature, T i , during a 'cold' plant start-up, (ii) outer wall temperature, T o , from a steam header during the same time period, (iii) an estimated enclosure temperature-time history, for the building in which the header is situated, and (iv) a steam pressure-time history. This cycle is hereafter referred to as the 'realistic' cycle. The steam temperature, T i , was inferred from a thermocouple attached to a stub pipe; the outer wall temperature, T o , was measured using a 1  2  3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 3 thermocouple attached to the outside surface of the thick walled section of the header. As indicated in Fig. 1 , the measured data are only available for the first 20 hours; beyond this, the steam, outside header and enclosure are assumed to cool at a fixed rate.
Temperature and Loading Histories
It can be seen that the steam temperature (blue solid line in Fig. 1 Figure 1 ; these times correspond to cases when thermal gradients with a hotter inside surface (heating transient, H 1 = 1.974 hrs) and a cooler inside surface (cooling transient, C 1 = 7.434 hrs) occur. The steam header is housed in an enclosure which is heated over time; the enclosure temperature, T ∞, (indicated by the dash line in Fig. 1 ) is initially at ambient temperature and increases to 325 ˚C after initial start-up, and then, following a dwell, lagging that of the steam, increases further to about 475˚C, still lagging the steam temperature. As will be seen, this lag between steam temperature and enclosure temperature leads to significant thermal gradient between the inner and outer surfaces of the header during start-up.
A simplified representative cycle (referred to hereafter as the 'representative' cycle), is presented in Figure 2 , which captures the salient features of the realistic cycle, but without the complex thermal transients shown in Fig. 1 . The first part of the representative cycle simulates a start-up to 400 ˚C and includes one contrived attemperation event. The steam temperature, T i , increases to 500 ˚C followed by a linear cooling rate, as in the realistic cycle, the pressure-tme history is identical to that of the realistic cycle. In order to conduct a comparison between times H 1 and C 1 of the realistic cycle, times H 2 and C 2 are annotated in Figure 2 ; these times corresponding to a heating transient (H 1 = 1.974 hrs) and a cooling transient (C 1 = 7.4 hrs) which mirror the transients of the realistic cycle.
Thermal model
The thermal model employed to simulate the plant cycle is described as follows:
1. A time-dependent steam temperature T i (t) is specified, based on measured data, (see e.g.
Figs. 1 and 2.) 4 2. A time-dependent enclosure temperature T ∞ (t) is specified based on an assumed profile (e.g. Fig. 1 ), informed by industrial experience, or, where available, outer wall temperature measurement, T o , is used.
3. Natural convection is modelled on the header external surfaces;
4. Forced steam convection is modelled on the header internal surfaces; Transient heat transfer, with temperature-dependent conductivity and specific heat data, is modelled through the header walls;
The material of the header to be examined is P91; the thermal properties of P91 are presented in Table 1 , from [12] . The steam-side convection coefficient is determined from the following equation:
where h i is the steam-side forced convection coefficient, k is thermal conductivity and Nu is the Nusselt number, defined in terms of the Prandtl number, Pr, and the Reynolds number, Re, by an empirical correlation [13] ,
for a smooth pipe with 0.5 < Pr < 1.5 and 10 4 < Re < 5×10 6 . The Reynolds number, Re, is
where ρ is steam density, u is steam velocity, d is the internal pipe diameter and μ is the kinematic viscosity. Here, the steam velocity is taken to be 15 m/s, the recommended velocity to prevent significant pressure drop in long steam pipe lengths [14] . The resulting h i values for the header surfaces are tabulated in Table 2 . The value of h o was chosen to give the best agreement between predicted and measured outer surface temperature, T o , seen in Figure 1 . The resulting value of h o = 1800 W/m 2 .K is used for the external surfaces.
Cyclic Viscoplasticity Model
Isothermal, in-phase (IP) TMF and out-of-phase (OP) test data for P91 are presented in [15] for the temperature range 400 ˚C to 600 ˚C, a strain-range of ±0.5% and a strain-rate of 1×10 -3 s -1 . Thermo-mechanical test data for P91 are also presented in [16] , covering a broad range of temperature, strain-ranges and strain-rates. A significant effect observed by [16] [17] [18] , is the phenomenon of cyclic-softening in P91.
In the present work, a material model, known as the two-layer viscoplasticity model [18] is implemented for the P91 material. This material model has been successfully employed for a high temperature forming tool nickel-chrome alloy [19] . The two-layer viscoplasticity model accounts for both rate-dependent (viscoplastic) and rate-independent (plastic) material behaviour. The elasto-plastic network predicts the time-independent behaviour of the material and the elastic-viscous network predicts the time-dependent behaviour of the material due to changes in the applied strain rates. The combination of these two parallel mechanisms will produce the total stress σ; permanent strain is caused when the yield stress, σ y, is exceeded, and viscous behaviour, σѵ, is due to viscous effects. The model is implemented within the, FE code ABAQUS [20] .
A temperature-dependent version of this two-layer model is adopted here along with a combined non-linear kinematic and isotropic hardening cyclic plasticity model for the time- 3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 5 independent behaviour and Norton's power law to capture secondary creep. The general equations for the two-layer viscoplasticity model are given below:
where K v and K p are the elastic constants of the elastic-viscous and elastic-plastic networks respectively, is Poisson's ratio, I is unit tensor of second-rank, tr expresses the trace of a tensor, and σ v and σ p are the stress tensors for the elastic-viscous and elastic-plastic networks respectively, defined as:
v p (8) where K v and K p are the elastic tensors of the elastic-viscous and elastic-plastic networks respectively. The yield surface is defined by:
where σ 0 is the current size of the yield surface and f(σ p -α) is the equivalent (von Mises) stress, with the back stress α, defined as:
where α dev is the deviatoric part of the back stress and S P is the deviatoric (plastic) stress tensor. The plastic flow rule is p f p p p (11) Where p is the equivalent plastic strain rate defined as follows:
The cyclic softening behaviour of the material is captured using an exponential law where the size of the yield surface σ 0 can be defined as a function of equivalent plastic strain, p: 5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 6 Here, k is the size of the yield surface at zero plastic strain, and Q ∞ and b are material constants identified from cyclic stress-strain loops, where Q ∞ is the asymptotic value of the stabilised loop and b controls the speed of stabilisation.
The evolution of the kinematic hardening component, according to the generalized Ziegler rule [21] for the anisothermal case, is:
where i α , C i and γ i , (i = 1, 2) correspond to short strain-range and long strain-range (Frederick-Armstrong) terms respectively. C i (T) is the temperature-dependent hardening modulus. The individual constants may be identified from the integrated version of the nonlinear kinematic hardening equation (see [22] ):
and 2 1 .
The creep strain is obtained from a Norton power law:
where A and n are temperature-dependent material constants, v is the viscous creep strain rate and v S is the deviatoric stress tensor. A parameter B is introduced to define the relative magnitude of KV, the elastic modulus of the elastic-viscous network, and Kp + Kv, the total instantaneous elastic modulus (assumed equal to E, Young's modulus), as follows:
A critical issue in the development of cyclic viscoplasticity models for anisothermal conditions is the identification of the large number of constants required. For the P91 material model used here, the constants are given in Table 3 . The identification process has been presented elsewhere [9] , including capture of the cyclic softening behaviour, across the 20 o C and 600 o C temperature range and including strain-rate effects via the viscoplasticity formulation A typical comparison for in-phase and out-of-phase thermomechanical loading for the model is shown in Figs. 3a and 3b , for the isothermally-calibrated material model. The model predictions are compared to data from [15] . The data correspond to a temperature variation between 400 ˚C and 500 ˚C and a strain rate of 0.1 % s -1 .
In this work, we consider a welded branch connection of a power plant header. Previous work, e.g. [23] , has carried out steady-state creep and creep damage analyses of welded branched connections using different Norton and creep damage material parameters for the three weld regions (weld, HAZ and parent metal) in a branched pipe connection. However, as limited data are available for high temperature, cyclic viscoplasticity characterisation of P91 1  2  3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 7 weld metal and heat-affected zones, the current work assumes that the same material parameters can be used to represent weld metal, heat affected zones (HAZ) and parent metal regions. Future work will examine the sensitivity of the predictions to the inclusion of weld and HAZ material properties.
Global and sub-modelling
A key challenge in the thermomechanical analysis of power plant components is the need to capture complex geometries, including stress concentrations and to provide an accurate representation of time-dependent and possibly non-linear thermal and mechanical response, in practical solution times. To this end, a sub-modelling approach to the thermomechanical analysis is adopted here. The thermomechanical analysis is carried out using the commercial finite-element code ABAQUS [20] . Sub-modelling is used to study a local part of a model with a refined mesh based on interpolation of the solution from an initial, relatively coarse, global model. The global and local submodel geometry for a header with stub-pipe attachments is shown in Figure 4 
Representation of multiaxial fatigue damage
The critical plane approach, e.g. [24] , is a method to determine fatigue damage under multiaxial conditions. A chosen fatigue indicator parameter, FIP, is evaluated on all candidate planes, defined in 3D by the angles θ and θ R , as shown in Figure 6 (a). The critical plane is the plane which maximises the FIP. The method can thus predict location, orientation and life for crack initiation under multiaxial conditions. Here the FIP used is the Ostergren parameter, O, such that O = Δε in σ max . Here the relevant stress is the stress normal to the plane, as indicated in Figure 6 (b) and the strain is the inelastic normal strain range. The procedure is as follows:
1. The stress-strain-time data predicted for a sample candidate material point, using the submodel of the header, are obtained from the finite-element model 2. For a given candidate plane, defined by θ and θ R , direction cosines are defined: (19) 3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65   8 4. Steps 2 to 3 are repeated for a given time history response at a given material point for the complete range of candidate planes (0 ≤ θ < 180˚ and 0 ≤ θ R < 180˚). 5. The maximum normal inelastic strain range Δε in and the maximum tensile stress σ max , associated with that strain range, on each particular plane are calculated. This allows for calculation of the Ostergren parameter given as Δε in σ max . The plane with the maximum value of O is identified as the critical plane for that material point. 6. The number of cycles to crack initiation for that material point is then predicted using the Ostergren equation:
where C and β are material constants, independent of temperature.
The value of the Ostergren parameters, C and β, were obtained from data in [17, 25] as illustrated in Figure 7 . The data of both [17] and [25] show similar trends. However for the purposes of this analysis the constants determined from [17] are used as they provide more conservative results (shorter lives). The constants C and β are found to be 4.5×10 3 and -1.6, respectively (for stress in units of MPa).
Results and Discussion
Thermal model
The thermal model was validated by comparing measured thermal histories (Figure 1 ) to predicted temperatures from the FE model. The points selected on the model correspond to the positions from which the measured data were taken in the plant. Figure 8(a) shows the measured and predicted temperature data on the surface of the stub pipe at point T 1 (approximately 150 mm away from the body of the header). Figure 8 (b) shows measured and predicted data at point T 2 on the outside surface of the header (a distance 100 mm normal to the plane of the stub pipes). It is clear that the FE model captures the general trends of the measured transients (maximum difference about 35 ˚C). These results provide confidence in the predicted temperature fields to be used in the thermo-mechanical modelling.
Note that, as a first approximation, the temperature of the outside surface of the stub (from point T 1 ) can be taken to be equal to the steam temperature, due to the thin wall of the stub, which in turn is close to the inside wall temperature of the header. Hence the difference in temperature between Figure 8 (a) and (b) reflect the instantaneous thermal gradient through the wall of the steam header.
The detailed FE thermal analysis provides a more accurate representation of these thermal gradients. For this analysis, two times from the thermal cycle of Figure 1 were selected (H 1 and C 1 ), as preliminary analysis of the stress strain loops indicated that maximum stresses occurred these times. The temperature distributions at times H 1 and C 1 are depicted in Figures 9(a) and (b) , respectively. In both cases there are clearly significant instantaneous thermal gradients, particularly in the regions of the stub-header intersections and the regions between the stubs (ligament regions). The stub pipes show a uniform wall temperature due to the small wall thickness (3.6 mm).
At time H 1 , a typical predicted thermal gradient in a region remote from the pipe stubs is ΔT = 117 ˚C (T i = 323 ˚C; T o = 215 ˚C). At time C 1 , thermal gradients of approximately 75 ˚C are predicted through the thickness of the header wall..
Global thermomechanical analysis
The stress distributions along paths A, B, C and D in Figure 5b are examined. The global header model was successfully validated, using a linear elastic material model, against 1  2  3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65   9 the Lame solution of a plane strain thick-walled cylinder with a radial thermal gradient (results not shown for brevity). Figure 10 shows the predicted stress profiles from the global non-linear elasticviscoplastic analysis. The realistic temperature and pressure cycle of Figure 1 is employed. The main effects of introducing the cyclic viscoplasticity material model is the general relaxation (reduction) of peak stresses. Clearly for the heating transient (H 1 ), high axial (up to ~ 300 MPa) and hoop (up to ~ 170 MPa) stresses are predicted on the outside surface, with path B predicted to experience a high (approximately) equi-biaxial stress state (Figs. 10b and  10c) . In contrast, for the cooling transient at time C 1, almost equally high axial and hoop stresses (Figs 10e to 10f ) are predicted at the inside surface. Figure 11 shows the predicted von Mises stress distributions from the global elasticviscoplastic analysis. Significant stress concentrations (grey regions in Figure 11a ) are predicted at the inside surface intersection corners (inner crotch corner) and on the outside surface of the header, near the stub pipe junctions. Figure 11b show the von Mises stress contour plot at time C 1 , indicating that the highest stresses are located at the inner crotch corner. This observation is consistent with the work reported in [26] , where regions around the stub pipe penetration with the thick-walled header body were reported to experience large thermal stresses, due to rapid changes in the steam temperature, leading to ligament cracking at sites between bore holes. Based on the results of Figure 11 , four points of interest were selected for further analysis. These points, as illustrated in Figure 12 , are the weld toe saddle and crotch positions and the inner bore saddle and crotch corners. Figure 13a shows the predicted von Mises at time H 1 in the local model. The stress levels in Figure 13 (a) may be compared directly with those in the global model (Figure 11a ) and it may be noted that the peak stresses are approximately 24% higher, indicating the importance of the sub-model in providing an accurate stress prediction. This von MIses stress is composed of a primarily biaxial stress state with large tensile hoop and axial stresses and comparatively smaller radial stresses. The largest tensile stress was predicted in the axial direction on the outside surface of the header of an approximate magnitude of 346 MPa at the weld toe. Figure 13b shows the von Mises stress distribution at time C 1 . In this case, the peak stresses are predicted on the inside surface of the header, along the stub-header intersection line, extending from the crotch corner to the saddle position. The predicted peak tensile stress occurs in the hoop direction, ~ 281 MPa, at the saddle position. At the inside crotch corner, a tensile stress of ~ 254 MPa is predicted. Hence, biaxial tensile stresses are predicted along this header inner surface edge of the header-stub intersection, leading to tensile plasticity along this edge. Figure 14 shows the predicted thermo-mechanical, stress-strain hysteresis loops for the three normal stress components for the realistic thermal cycle. Figures 14(a) and 14(b) provide the results for the inner bore saddle and crotch, respectively. The trends are remarkably similar, with the peak tensile and compressive stresses (hoop for the saddle and axial for the crotch) corresponding, respectively, to times C 1 and H 1 . For both cases, the thermo-mechanical loops are clearly out-of-phase, i.e. TMF-OP. Significant stress-ranges of 443 MPa and 505 MPa are predicted for the saddle and crotch positions, respectively, with tensile stress peaks of 280 MPa and 249 MPa. The corresponding predicted strain ranges are approximately 0.3% and 0.4%, respectively.
Sub-model thermomechanical analyses
The predicted thermo-mechanical, stress-strain hysteresis loops for the weld toe saddle and crotch are provided in Figure 14(c) and 14(d) , respectively. The weld toe TMF loops are 10 predominantly tensile with tensile mean stresses, the dominant stresses being hoop for the saddle and axial for the crotch. These loops are in-phase, i.e. TMF-IP, with the peak tensile stress/strain corresponding to time H 1 and the peak compressive stress/strain to C 1 . The strain ranges are significantly smaller than those of the weld toe, approximately 0.12% and 0.2%, respectively, for the saddle and crotch and the stress ranges are also smaller than for the weld toe, i.e. about 400 MPa and 500 MPa, respectively, with peak tensile stresses of 275 MPa and 340 MPa, respectively. The prediction of a large tensile stress in the axial direction is consistent with the results in [5] pertaining to observed ligament cracking in steam headers. Figure 15 present the corresponding TMF hysteresis loops for the representative cycle, for the same four locations. Comparison with the results in Fig. 14 reveal that the predicted stress-strain responses are quantitatively very similar, in terms of stress and strain magnitudes and ranges, in all three directions to those of the realistic cycle.
Thermomechanical fatigue life prediction
A TMF fatigue life analysis was carried out using the approach discussed in Section 2.6. Table 4 shows the predicted time to fatigue crack initiation (FCI), based on a position of 150 μm from the surface (the location of the closest numerical integration point to the surface in the FE model) for both the realistic and representative cycles. The critical-plane Ostergren approach has been applied, based on maximum values of the stress and inelastic strain ranges over the complete cycle, i.e. neglecting the damage contributions from smaller cycles associated with temperature fluctuations. An alternative approach using a rainflow cycle counting method has also been examined and will be reported in future work [27] . It is clear from Table 4 that the representative cycle gives life predictions very close to those of the realistic cycle. The use of this simplified cycle isolates the key damaging thermal events and provides guidance for scheduling of planned maintenance of power plant.
The crotch position on the inside (bore) of the header is predicted to be the critical location for crack initiation, with an initiation life of almost 2 × 10 3 cycles predicted. The predicted orientation of the crack initiation plane indicates that cracking is perpendicular to the longitudinal axis of the header. Assuming one cold start-up per week, which is becoming typical for a fossil-fuel burning plant, with increased use of renewable energy, this corresponds to a crack initiation life of 36.7 years for the realistic cycle. For fatigue crack initiation at the outside surface, which is more easily detected, the crotch position at the weld toe, is the predicted initiation location, after about 3×10 3 cycles (corresponding to 58.3 years), which is about 60% longer than for the inside crotch position. Clearly, cracking of the inside surface can be considered more critical, due to the possibilities for steam pressure enhancement of crack growth, corrosion effects and the difficulty in detection of such cracks, without shut-down.
The predicted results are consistent with industrial observations. For example, ligament bore cracking of a 40 to 45 mm thick economiser header has been observed after 8 × 10 2 to 1 × 10 3 start cycles [28] . Here, ligament bore cracking is defined as the initiation of longitudinal cracks in the vicinity of the stub pipe-header intersection and the internal header surface interface. It is important to note that the frequency of these cycles was lower than that examined here, so that significant creep damage in addition to LCF is likely to occur. In [28] weld toe crack initiation was reported, followed by radial and circumferential growth, leading to complete fracture of the tube from the header. This is consistent with the observations of [26] where stub weld fracture led to catastrophic failure. 3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 11
Conclusions
The accurate prediction of fatigue crack initiation in power plant components is critical for scheduling of plant shutdowns for crack detection. A detailed study of the thermo-mechanical behaviour of a realistic steam header in a fossil fuel power plant has been presented, incorporating multiaxial fatigue damage prediction. The key conclusions are as follows:
High tensile stresses are predicted (i) on the inside surface during cooling transients and (ii) on the outside surface at the weld toe during heating transients. The predicted behaviour at the inner bore corresponds to out-of-phase temperature-strain cyclic conditions (TMF-OP), whereas conditions at the weld toe correspond to in-phase temperature-cyclic strain (TMF-IP).
The cooling transient stresses are shown to be more detrimental, leading to predicted crack initiation (using the Ostergren fatigue indicator parameter) within about 1,900 cold start cycles. Outside surface cracking is predicted to occur about 60% later than inside surface cracking. Predicted cracking directions are consistent with reported inservice cracking.
A simplified, representative cycle, designed to represent the salient features of the significantly more complex realistic cycle, is shown to give almost identical predicted fatigue life and very similar thermo-mechanical cyclic conditions, at the critical location of the header. 3  4  5  6  7  8  9  10  11  12  13  14  15  16  17  18  19  20  21  22  23  24  25  26  27  28  29  30  31  32  33  34  35  36  37  38  39  40  41  42  43  44  45  46  47  48  49  50  51  52  53  54  55  56  57  58  59  60  61  62  63  64  65 13 Table 3 . Identified temperature-dependent NLKH and viscoplastic constants for P91.
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